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A B S T R A C T

Modern aircraft designs combine carbon–aluminium assemblies mechanically joined by steel bolts. The
different thermal expansion coefficient of these materials and the substantial temperature excursions during
aircraft operation, lead to thermal stresses that alter the load distribution of the bolted joint. These stresses
can compromise the structural integrity of large components and they are difficult to anticipate. In this
paper, we present a detailed experimental and computational study of a hybrid carbon–aluminium wingbox
subcomponent. Thermal tests were performed to determine the global deformation of the assembly. The
numerical model is compared against the experiments and is used to extract additional information that
cannot be easily measured experimentally, for instance the evolution of the bolt preload with temperature. The
agreement between the experimental results and simulation instils confidence in the proposed methodology
to identify, and minimise through redesign, areas prone to damage due to the combination of thermal and
mechanical loads.
1. Introduction

Nowadays, Carbon Fibre Reinforced Polymers (CFRP) are increas-
ingly being used to replace metallic parts in aircraft components, thanks
to their reduced weight-to-strength ratio. That said, metallic elements
(mainly aluminium and titanium) are still being employed, which has
led to the presence of several metal–CFRP assemblies in the wings,
empennage or fuselage [1,2]. Due to their high stiffness and strength as
well as their facility to be disassembled and repaired, bolted joints are
widely used for connecting these types of assemblies [3,4]. At cruising
altitudes, an aircraft experiences temperatures between −30 ◦C to
−50 ◦C, but during the landing phase the temperatures range between
40 ◦C to 50 ◦C. Given that metals and CFRP have different thermal
expansion coefficients, these substantial jumps in temperature cause
thermal stresses which affect the performance of the bolted joints [5–
7]. At the same time, detailed designing and analysing large bolted
components of complex geometry is challenging due to the complex
phenomenology involved, which includes not only the differential ther-
mal expansion, but also bolt preload, bolt-hole clearance and friction
and sliding between the contacting surfaces [3,4,6–11].

Aircraft manufacturers are already concerned by safety problems
caused by thermal fatigue of the primary structures with hybrid ma-
terials. For example, the Airbus A380 combines CFRP with aluminium
ribs in its wings. After years of service, cracks were found during an
inspection that had originated from the rib-to-skin panel attachment
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joint. Further cracks were also observed at the web of the rib feet [2,
12]. These cracks were attributed to high stresses in the joints due the
thermal expansion mismatch between the parts [2,13]. Thus, the design
of the ribs is crucial to avoid high stresses that originate at the central
lightning holes and also at the mouse holes (a curved region of the
rib that leaves a gap between the rib bay and the skin/spar sections
as shown in Fig. 1). In these locations, thermal-induced stresses can
be high enough to trigger a fatigue crack. Moreover, unfolding, which
refers to the fact that the angle between the rib-skin, and between the
rib-spar deviates from 90◦, can also occur. This issue of the unfolding
of the rib is also relevant since it changes the shape of rib and the way
the load is distributed on the three elements: rib, skin and spar.

Currently, aerospace industry design philosophy consists of verify-
ing the static and fatigue strength by experimental testing, following
the classical pyramidal approach [1,14]. Firstly, at the coupon level,
several specimens are tested to understand the main physics of the
problem [15]. Secondly, a substructure representative of the real struc-
ture is tested and, finally, the full real structure is analysed. Unfortu-
nately, testing at the substructural and structural levels is challenging
and costly due to: (i) the need for complex and expensive testing
equipment, (ii) the large amount of data to be measured and processed,
(iii) the high manufacturing and instrumentation costs and (iv) the
difficulty in knowing beforehand which critical areas from the structure
need to be instrumented. In addition, at any of these levels, the thermal
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Fig. 1. Photo of the manufactured wingbox subcomponent representing a small unit of a full wingbox.
strain needs to be taken into account since it may affect the global
response, thus adding a further complexity to the tests [1,2,7]. Finally,
thermal tests performed with materials that exhibit low Coefficient
of Thermal Expansion (CTE) values, like composites, result in small
deformation levels that are difficult to measure.

From a computational point of view, several refined Finite Element
(FE) models able to capture the phenomenology involved in bolted
joints (contact, friction, sliding, transverse stresses, bolt preload, clear-
ance and thermal expansion/contraction) with high-fidelity have been
extensively presented in the literature [3,7,16–25]. Nonetheless, such
refined models are computationally demanding, therefore limiting their
applicability to designing and analysing large structures [3,7,25,26].
Recently, Guerrero et al. [7] presented a simplified FE model where the
plates are modelled with solid-shell elements (i.e. a continuum shell),
whereas the bolt is simulated with a beam and surface elements. The
model was validated, on both the coupon and substructural scales, by
comparing it with a full 3D solid model showing an excellent trade-
off between computational time and accuracy. Nevertheless, the model
was not compared with experimental data.

In this paper, we propose a representative carbon–aluminium hybrid
subcomponent of a wingbox and experimentally subject it to posi-
tive and negative thermal excursions, representing the typical thermal
cycles aircraft experience during their service life. Detailed instrumen-
tation plans along with accurate strain measurements from hybrid
material structures are proposed. The numerical model proposed by
Guerrero et al. [7] is used to simulate the subcomponent and is val-
idated against the experimental data. Using the experimental results,
also complemented by the numerical results, we analyse the global
thermal deformation of the subcomponent and also study the effect
of the thermal excursions on the specific concerns raised by the aero-
nautical manufacturers, i.e., unfolding, hoop stresses in the rib, etc.
Our results show a significant presence of unfolding and considerable
stresses in the assembly due to the thermal loads, which can then lead
2

to structural concerns. The good agreement between the experimental
and numerical results instils confidence in the proposed methodology
to identify the most critical areas and provide insights into the design of
a new rib with lower thermal-induced stresses and improved thermal
response. This paper aims to validate the experimental methodology
and to verify the accuracy of the numerical model proposed in Guerrero
et al. [7]. The authors also plan to use the same strategy to study the
thermal behaviour of a full-scale wingbox assembly in a future paper.
This work is part of an EU Cleansky-2 project ‘INNOHYBOX’, developed
within the consortium of Dassault Aviation, the AMADE research group
from the University of Girona, the technological centre EURECAT and
the company SOFITEC, with the global objective of analysing a hybrid
wingbox structure subjected to thermo-mechanical loads.

2. Methodology

In this section we describe the wingbox subcomponent assembly,
the experimental testing campaign carried out and the finite element
model developed.

2.1. Wingbox subcomponent description

The wingbox subcomponent consists of a small representative unit
of a full wingbox cross-section, see Fig. 1. The subcomponent is com-
prised of three parts: the skin (top and bottom) and spar (left and right),
both made of CFRP, and one rib bay at the centre made of aluminium.
All these parts are bolted together with NAS-1153 steel bolts, as follows:

• Top and bottom skin are bolted with the rib by 2 bolts each.
• Left and right spars are bolted with the rib by 3 bolts each.
• Skins and spars are bolted together by 36 bolts in total.
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Fig. 2. Temperature ramps conducted for the experimental tests of the subcomponent. (a) Positive thermal and (b) negative thermal. The dashed vertical line indicates the time
at which the experimental data is compared with the numerical model. The set point indicates the temperature set in the heating/cooling machine.
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Hence, the assembly contains 46 bolts, see Fig. 1. The torque applied
to the bolts was approximately 3.4 N m, (corresponding to a theoret-
ical preload of around 6000 N), which is a common torque used in
aerospace.

The subcomponent has been downsized to a ratio of 6.5 with respect
to the wingbox, but has mainly the same key elements to perform a pre-
liminary analysis, thereby, reducing the complexity and experimental
cost. The downsized model was designed in such a way that it focused
on studying a single rib bay and the interaction between the bolted
joints of different materials. Therefore, the subcomponent will allow
the study of the thermal response in a simpler structure, observing
critical areas of design concern such as the central hole of the rib, the
mouse hole and the presence of unfolding, see Fig. 1. The dimensions of
the subcomponent are 230×300×323.04 mm (width × length × height).

ther specific dimensions such as the thickness, radius of the parts, etc.,
re confidential. Notice that we removed the stringers in the skin, since
heir behaviour was out of interest at this scale.

.2. Experimental tests

To represent the temperature excursions seen on an aircraft during
ts operational service life, the subcomponent is subjected to a thermal
ump. Two tests were performed:

• Negative thermal jump: from room temperature (25 ◦C) down to
−40 ◦C.

• Positive thermal jump: from room temperature (25 ◦C) up to
80 ◦C.

For each test, the subcomponent was placed inside a climatic cham-
er at room temperature. To ensure a uniform temperature over the
hole assembly and to avoid oscillations resulting from the thermal in-
rtia of the components, the thermal jump was slowly applied through
mall temperature ramps over long periods of time. A total of 16
hermocouples were bonded at different locations of the subcomponent
o as to map the temperature during the thermal cycle. Fig. 2 shows
he evolution of the temperature signal measured by the different ther-
ocouples, the calculated average temperature and the temperature

ensor that controlled the thermal unit. For the positive thermal test,
he average temperature shows some oscillations of 5 ◦C with respect
o the control temperature set at 85 ◦C at the end of the test. For the
egative thermal test, the control temperature was set at −60 ◦C but
he assembly stabilised at −40 ◦C, thus reaching its maximum cooling
apacity. The dashed lines in Fig. 2 mark the end of the thermal tests.

The subcomponent was placed inside the chamber and supported by
n aluminium frame at four corners of the bottom skin, thus allowing
ree expansion/contraction during the thermal jump (see Fig. 3). An
3

nsulation tape was used at the supports to avoid heat transfer by p
onduction via the aluminium frame. Besides this, strain gauges were
onded onto the assembly to track the strains at different key locations;
s will be explained next. A photo of the subcomponent just before and
fter the negative thermal test is also presented in Fig. 3.

.3. Experimental instrumentation

Self-temperature-compensated strain gauges from HBM were se-
ected to monitor the strain field at the subcomponent. As a general
ule, it is good practice to use self-temperature compensated gauges
ith a similar CTE to the material under study. A 350 Ohms gauge

s also preferable to minimise self-heating by the excitation current.
n addition, a medium gauge length is recommended to improve heat
ransfer over to the substrate. In this case, two different types of 6 mm
ength gauges were used: one aluminium strain gauge with temperature
ompensation with CTE = 23 μm/m◦C (1-LY63-6/350) was used for
he aluminium rib, while another with a lower thermal expansion
ike quartz, with CTE = 0.5 μm/m◦C, was employed for the CFRP
aminates (1-LY46-6/350). Each strain gauge was connected via a four-
ire quarter-bridge circuit to compensate the resistance change of the

ables, as is recommended by HBM.
Recall that the electrical resistance of the strain gauge changes not

nly with mechanical strain, but with temperature as well. In addition,
he gauge factor, which relates the strain and the gauge resistance
hange, also varies with temperature. These deviations can cause sig-
ificant errors if not properly accounted for. The strain measurement,
ue to a purely temperature change, is commonly referred to as the

thermal output’ or ‘apparent strain’ of the strain gauge. This thermal
utput is caused by two effects. First, the electrical resistivity of the
rid conductor is temperature dependent and so is the gauge resistance.
he second contribution is the CTE mismatch between the grid and
he test part (or substrate) where the strain gauge is bonded [27,28].
onsequently, the strain that is measured by the strain indicator, 𝜀ind,
uring the thermal test is given by

ind = 𝜀m + 𝜀p +
(

𝛼c − 𝛼g
)

𝛥𝑇 = 𝜀m + 𝜀p + 𝛼c𝛥𝑇 − 𝛼g𝛥𝑇 (1)

here 𝜀m is the mechanical strain (all the strain that is related to the
tress), 𝜀p is the strain due to the resistance change, which can be
omputed with a polynomial equation from the strain gauge datasheet,
c is the CTE of the specimen, 𝛼g is the CTE of the grid (indicated in
he datasheet) and 𝛥𝑇 is the thermal jump. Notice that if 𝛼c = 𝛼g,
here is no thermal mismatch between the grid and substrate and
ence, the last term in Eq. (1) vanishes. It should be noted the self-
emperature-compensated strain gauges are processed to minimise the
hermal output compared to standard foil gauges. Table 1 shows the

roperties of the strain gauges employed for the tests.
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Fig. 3. (a) Subcomponent placed inside the thermal chamber before testing and (b) subcomponent just after the negative thermal test, showing the presence of frost created during
the low temperature. The assembly is supported at each of the four corners by an aluminium structure. Some strain gauges are also illustrated.
Table 1
Properties of the strain gauges used for the experimental tests.

Strain gauge reference Material type 𝛼g [μm/m◦C] 𝜀p [μm/m]

1-LY63-6/350 Aluminium 23 −12.11 + 1.29 ⋅ 𝑇 − 3.91 ⋅ 10−2 ⋅ 𝑇 2 + 2.10 ⋅ 10−4 ⋅ 𝑇 3 ± (𝑇 − 20) ⋅ 0.3
1-LY46-6/350 Quartz 0.5 −16.40 + 2.39 ⋅ 𝑇 − 8.60 ⋅ 10−2 ⋅ 𝑇 2 + 3.45 ⋅ 10−4 ⋅ 𝑇 3 ± (𝑇 − 20) ⋅ 0.3
In this work, we compute the ‘total strain’ (𝜀t), which we refer
as the mechanical strain, 𝜀m (stress-induced strain, i.e. all the strain
that causes stress), plus the strain due to the thermal expansion of
the specimen

(

𝛼c𝛥𝑇
)

, so that 𝜀t = 𝜀m + 𝛼c𝛥𝑇 . Hence, to obtain the
total strain from the experimental measurements, the measured experi-
mental strains are corrected simply by re-organising Eq. (1), leading to

𝜀t = 𝜀m + 𝛼c𝛥𝑇 = 𝜀ind − 𝜀p + 𝛼g𝛥𝑇 (2)

In Eq. (2), 𝜀ind is known since this corresponds to the strain gauge signal
measured during the test, while 𝜀p and 𝛼g are known from the strain
gauge datasheet (Table 1). It is worth mentioning that Eq. (2) assumes
the CTE of the coupon and grid do not change with temperature, which
is a valid assumption for the range of temperatures used in this work.
The variation of the gauge factor with the current temperature range
can be neglected.

The validity of Eq. (2) was confirmed as follows. An aluminium
coupon, with two longitudinal aluminium strain gauges bonded, and
a CFRP coupon, with four quartz strain gauges bonded (two longitudi-
nally and two transversally), were subjected to a pure thermal cycle.
The strain given by the indicator was corrected with Eq. (2). Since
the mechanical strain was zero (i.e. the coupons expanded/contracted
freely, so that 𝜀m = 0), the total strain computed from Eq. (2), 𝜀t,
equals 𝛼c𝛥𝑇 . Hence, we can perform a least square linear fitting of the
experimental data, in which the slope is the CTE of the coupon (𝛼c).
In the case of aluminium, we obtained a CTE of 23.05 μm/m◦C, which
agrees well with the aluminium alloy used, see Fig. 4a. For the CFRP
we obtained a CTE between 0.2219 and 0.4072 μm/m◦C longitudinally,
while in the transverse direction we estimated a CTE between 4.58
and 4.88 μm/m◦C. This agrees well with the CTE of 0.29 ± 0.25 and
4.92 ± 1.5 in the longitudinal and transverse directions, respectively,
4

that were determined using a push-rod dilatometer test according to
ASTM E228-11 [29], see Fig. 4b–c. The agreement between the result
from Eq. (2) and the expected CTE proves the validity of the strain
correction approach. It is worth noting that some strain oscillations
appear in Fig. 4, this is because the temperature change was applied
in ramps that were too short, but this does not affect the validation of
the results.

It is also worth mentioning that other tests were also performed
by bonding steel strain gauges onto the same aluminium and CFRP
coupons. The results indicated that the strain correction provided by
Eq. (2) worked well in the aluminium material, but it was not accurate
with the CFRP. Consequently, Eq. (2) cannot be used directly if the
mismatch between the CTE of the material tested and the grid is
considerable.

A total of 32 strain gauges were placed at different locations of the
rib, top skin and left spar in order to track the 3D global deformation of
the assembly, see Fig. 3. In the skin and spar, strain gauges were placed
along the parts with the objective of measuring the direction of the
bending of the components, so that the deformation in the experiments
could be compared with the numerical model. Moreover, the aim was
also to compare the absolute strain values at these different places
to check that, the numerical model was not only capturing the same
deformation as in the experiments, but also similar strain magnitudes.
On the other hand, in the rib we placed strain gauges in locations that
are of interest for the industry: around the central hole (to understand
the deformation in such critical area and measure the hoop stresses), as
well as around the top region of the rib, with the objective of measuring
unfolding. Unfortunately, we were unable to place strain gauges in the
mouse hole. The exact location of all strain gauges will be shown in
Section 3.
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Fig. 4. Measured strain, 𝜀ind, and corrected total strain, 𝜀t, for the aluminium and CFRP coupons. (a) Aluminium, (b) CFRP longitudinal and (c) CFRP transversal. The slope of
the trendline corresponds to the CTE of the specimen, which agrees well with the theoretical one. Photos of the specimens are also shown.
Fig. 5. Finite element model of the wingbox subcomponent, based on continuum shells to model the parts, while beams and surface elements (SFM) are employed to represent
the bolts.
2.4. Subcomponent finite element model

The subcomponent FE model is the same as that described in
Guerrero et al. [7], although some small changes were performed.
The simulation was carried out using the Abaqus 6.14 finite element
programme [30], following an implicit static analysis. All the com-
ponents of the structure (skins, spars and rib) are modelled as type
SC8R Continuum Shells (CONTS) (i.e. an eight node quadrilateral
continuum element with reduced integration). These elements have
only displacement degrees of freedom and look like solid elements, but
their kinematic formulation mimics that of conventional shells being,
therefore, in-between solid and shell elements [7]. Unlike conventional
shells, continuum shells can partially capture the through-thickness be-
haviour, albeit their response is simplified compared with solids [7,30].
Fig. 5 presents a global picture of the FE model. All the geometry and
dimensions mirror the real assembly. Frames and floors are included
for applying boundary conditions representative of the real test, as will
be clarified later.
5

The bolts are modelled with type B31 beam elements (a two node
linear beam). The bolt section was simplified from a countersunk shape
to fully cylindrical, with a diameter equal to that of the bolt thread all
along its length [7]. Given that beam elements do not have a physical
cross-section (i.e. only a line is physically modelled with a virtual cross-
section), a cylindrical surface with a diameter equal to that of the bolt
is included to physically represent its outer surface, see Figs. 5 and 6a.
This surface is meshed with Surface Elements (SFM) of type SFM3D4R
(four node quadrilateral surface element with reduced integration). The
SFM is connected with its beam by a tie constraint, where the beam
is selected as the master and the SFM as the slave [7], see Fig. 6a.
Consequently, the SFM can be seen as a lattice of nodes, without
stiffness and material properties, whose motion is governed following
the displacements and rotations of the beam, without storing elastic
energy [7,30].

To further simplify the physics, the washer and nut are not phys-
ically modelled [7]. Instead, their presence is partially represented as
follows. First, a circular partition with diameter equal to that of the
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Fig. 6. Schema of the bolted joint physics. (a) Bolt modelled as beam and surface elements (SFM), with both being tied, (b) Tie between the bottom node of the beam and the
washer partition, (c) Tie between the top nodes of the beam and the countersunk surface, (d) Contacts of the joint and (e) Preload assigned to the beam.
washer is created in the bottom plate of the joint, where the washer
would be in contact. The bottom node of the beam (as the master) is
tied with this circular partition (as the slave, see Fig. 6b). Similarly, the
top nodes of the beam (as master) are tied with the countersunk surface
of the top plate (as slave, Fig. 6c). Hence, the contact of the bolt head
with the top plate of the joint and that of the washer with the bottom
plate are neglected. Notice that, while removing the washer and nut
does not greatly reduce the number of elements in the subcomponent,
it simplifies significantly the problem since the contact between the
washer and the assembled parts disappears. Further to this, the final
aim of the authors is to use the present model to simulate a full wingbox
(with around 300 bolted joints) in a future paper. In such case, the
removal of the washer and nut would considerably reduce the degrees
of freedom due to the very large number of bolted joints, in addition
to the removal of hundreds of contact interactions. For these reasons,
it was decided to remove the washer and nut.

All contact interactions, including frictional sliding, are modelled
using the surface-to-surface contact algorithm of Abaqus/Standard,
with the finite sliding formulation. The tangential behaviour follows
a penalty friction formulation, whereas the normal behaviour is given
by hard contact [7,30]. In total, we assigned contact interactions be-
tween [7]: (i) the skins and the rib, (ii) the spars and the rib, (iii)
the skins and the spars, (iv) the bottom skin and the floor, (v) the
frames and the floor and (vi) the SFM of the bolts and their holes.
Fig. 6d shows a schematic representation of the contact in a bolted
joint. The addition of the SFM was to capture the contact between the
bolt and the hole. Without the SFM, this contact cannot be properly
modelled since the beam does not have a physical cross-section [7].
The clearance between the holes and the bolts is 0.06 mm, which
corresponds approximately to the real structure, and is within the range
found in aerospace, i.e. commonly between 0.05–0.15 mm [7,9,31].
The friction coefficient for the different material interfaces, which
depends on the temperature, can be found in Table 2. The values were
determined from experimental testing using a newly developed device
6

Table 2
Friction coefficient for each contact interface as a function of temperature.

Contact interface Temperature [◦C] Friction coefficient [-]

CFRP–Aluminium
−55 0.373
25 0.315
80 0.273

CFRP–CFRP
−55 0.161
25 0.126
80 0.104

Steel–CFRP or Steel–Aluminium
−55 0.315
25 0.315
80 0.315

for multi-material friction testing, and will be reported in a future
paper. It is worth mentioning that the subcomponent results presented
in Guerrero et al. [7], used a constant friction coefficient for all the
assembly. Hence, results obtained in this work are different from the
ones found in [7].

The material properties are presented in Table 3. All metallic parts
behave as linear elastic isotropic materials, while the CFRP components
are orthotropic. The CFRP skin and spar laminates have 60 and 26 plies,
respectively. The stacking sequence used for the laminates is confiden-
tial. They are defined using the ‘composite layup’ feature of Abaqus,
which assumes classical laminate theory [30]. Three integration points
are used for each ply of the laminates. The CTE is isotropic for metals
and orthotropic for CFRP. Any form of damage or plasticity is ignored,
since such phenomena are not expected in the real experimental test.
All material properties were assumed to be independent of temperature,
which is a reasonable assumption for the range of temperatures used in
this study. Further to this, the weight of the assembly (about 4.62 Kg)
is included by using the gravity feature of Abaqus [30], which applies
a load in the gravity direction to each element of the model according
to the element’s material density and volume [7].
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Fig. 7. Illustration of the mesh employed in the subcomponent finite element model.
Table 3
Material properties of subcomponent. (∗) These properties were computed by means of
experimental testing in accordance with the ASTM standards D3039M, D3518M and
E228-11 [29,32,33]. CFRP properties are ply-based, with subindex 11, 22, 33 referring
to the longitudinal, transverse and out-of-plane directions.

Material name Property Source

Steel alloy

𝐸 [MPa] 210000

[34]𝜈 [-] 0.3
𝛼 [μm/m◦C] 11
𝜌 [g/cm3] 8

Aluminium (2024-O)

𝐸 [MPa] 73100

[34]𝜈 [-] 0.33
𝛼 [μm/m◦C] 21
𝜌 [g/cm3] 2.7

CFRP (M21 EV/IMA) 𝐸11 [MPa] 165000 [15]
𝐸22&𝐸33 [MPa] 9300 Own(∗)

𝜈12&𝜈13 [-] 0.35 [15]
𝜈23 [-] 0.487 Own(∗)

𝐺12&𝐺13 [MPa] 5080 Own(∗)

𝐺23 [MPa] 3127.10 𝐸22∕2
(

1 + 𝜈23
)

𝛼11 [μm/m◦C] −0.4 ± 0.2 Own(∗)

𝛼22 [μm/m◦C] 27 ± 0.5 Own(∗)

𝛼33 [μm/m◦C] 33 ± 2.1 Own(∗)

𝜌 [g/cm3] 1.5 –
Ply thickness [mm] 0.192 –

Overall, the mesh size is 3 mm, but this is refined to 0.5–0.75 mm
around the holes to increase the stress accuracy in these areas of
high stress gradients. To properly capture the bending of the parts,
four elements through the thickness are used. The bolts have a mesh
size of 0.3–0.5 mm. The hexahedral element mesh is structured to
keep a reasonable element quality, see Fig. 7. In total, the model con-
tains 573138 elements: 444128 hexahedral continuum shell elements,
126578 quadrilateral surface elements and 2432 beam elements. These
mesh dimensions described above were selected to have an accurate
representation of the geometrical features, without compromising the
computational cost. The numerical model will be compared against the
experiments in regions far from stress concentration.

The boundary conditions are selected to accurately represent the
real experimental test (as shown in Fig. 3), and are the same as
described in previous work [7]. Hence, the four corners of the subcom-
ponent are placed just on top of four perfectly rigid surfaces, here called
floors, which represent the aluminium structure where the subcompo-
nent is supported in the experimental tests, see Fig. 3. These floors are
7

fully clamped (Fig. 8), nonetheless, just placing the subcomponent on
top of the floors does not prevent rigid body motion [7]. Consequently,
we tied four fictitious ‘frames’, which are made of a dummy compliant
material of low stiffness (0.1 GPa), at each corner of the bottom skin,
see Figs. 5 and 8. Half of the frame is clamped, while the other half, that
is closest to the skin, is left free (Fig. 8). Within this, the bottom skin is
able to move totally freely, since no boundary conditions are applied to
it, and the presence of the compliant frames prevent rigid body motion
without altering the response, since their stiffness is insignificant [7]. It
should be noted that we did not consider non-linear geometrical effects,
since large deformation is not expected in a thermal analysis.

The simulation consists of the following two steps [7]:

• Step 1: Preload. A preload of 6000 N is given to all 46 bolts in the
assembly, which corresponds to its real counterpart. This preload
is applied using the bolt load feature of Abaqus [3,7,25,30],
which adjusts the length of the beam’s central element along
the bolt axis until the sum of the reaction forces of the nodes
within the element matches the user-defined preload force, see
Fig. 6e. Notice that, in the next step of the simulation, the bolts
are allowed to deform freely when other loads occur. Moreover,
using the pre-defined field option of Abaqus [7,30], the temper-
ature is adjusted to 25 ◦C (room temperature) over the whole
substructure. The gravity loading is applied at the start of the step
and propagated for the rest of the simulation (Fig. 8a).

• Step 2: Thermal jump. As in the experiments, the effect of a
thermal jump is investigated. Either a positive, between 25 ◦C up
to a maximum of 80 ◦C, or a negative jump, from 25 ◦C down to
−40 ◦C are applied (Fig. 8b). To model this thermal loading, we
increase or decrease the initial temperature given originally to the
substructure in the previous step (25 ◦C) to the final temperature
desired [7,30]. The different components will expand or contract
according to their CTE, the stiffness of the parts, the temperature
difference, and the interaction between the parts.

It is worth noting that, using other element types (such as 3D solids
and conventional shell elements) was explored in previous work [7]. In
this paper, we decided to use the continuum shell element because it
provides excellent trade-off between computational time and accuracy
of results [7]. While using beam elements to simulate bolts is com-
monly done in the literature [7,35], the model presents the novelty of
including surface elements to capture the bearing contact of the bolt
with the hole [7]. In addition, the good balance between computational
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Fig. 8. Schema of the boundary conditions and steps used for the subcomponent finite element model. (a) Step 1 preload and (b) Step 2 thermal jump.
time and accuracy, and the use of typical elements available in Abaqus,
makes the model feasible to be used by the industry to simulate large
bolted structures, such as a Wingbox.

3. Results

Fig. 9, 10 and 11 present the location of the Strain Gauges (SG)
along the rib, skin and spar, respectively, as well as the numerical
predictions compared with the experimental values with a positive and
negative thermal jump. In the rib, strain gauges SG1, SG2, SG3 and SG4
were placed around the central hole (to understand the deformation in
such critical area) and at the top region of the rib, close to the connec-
tion with the skin (SG5–SG9), in an attempt to measure unfolding, see
Fig. 9. Unfortunately, it was not possible to place strain gauges at the
mouse hole since such an area is too small. In the skin, strain gauges
SG1, SG2, SG3 and SG4 were placed close to the bolted joints with the
rib at the centre, while SG5–SG8 were bonded next to the connection
with the spar, and finally SG9 and SG10 were located close to the skin
edge far away from any bolted joint. The strain gauges were bonded at
the two surfaces of the skin (top and bottom) to understand the bending
direction of the part by comparing the signals from both sides (such
as, for instance, SG9 against SG10), see Fig. 10. Similarly, in the spar
we placed strain gauges SG1–SG8 close to the three connections bolted
with the rib, and SG9–SG12 far from any bolted joint. Moreover, strain
gauges were again placed at each side of the spar (inner and outer) to
assess the bending, see Fig. 11. Notice that, for the skin and spar, we
also placed strain gauges in the longitudinal and transverse directions
of the laminate.

The overall results show that the strains are compressive for the
negative jump, and tensile for the positive thermal scenario. This indi-
cates the components are under compression for the negative jump and
expanding for the tensile one. In general, the model predicts reasonably
well the magnitude of the strains as well as the sign and the trends
with the rib, skin and spar. However, the model underpredicts the
measurements in almost all locations. The longitudinal strains in the
carbon parts are significantly lower than the rib, this is due to the large
stiffness of the CFRP material and the low CTE in the fibre direction of
the laminates (Table 3).

Fig. 12 shows the displacement magnitude of the structure with
each thermal jump predicted by the FE model. Mainly, the rib expe-
rienced the highest contraction/expansion, thus forcing the skin and
spar to bend. The deformed shape predicted by both thermal jumps
8

are reversed one in respect to the other. With both thermal jumps the
presence of unfolding between the rib and skin, and between the rib
and spar can be noticed. This change in angle between the parts occurs
due to the alteration in the primary shape of the ribs for which it was
designed for. Unfolding can thus lead to an undesirable load carrying
or stress distribution in the ribs in a manner it was not designed
for, causing structural concerns. The rib design used in this work is
therefore not able to prevent unfolding. Next, we analyse the deformed
shape predicted between the model and experiments by comparing the
strain gauge signals.

In the rib, SG1 and SG4 (both placed horizontally at each side of the
central hole, see Fig. 9), give similar results with both thermal jumps,
whereas SG2 (oriented vertically at the left of the hole) is lower in
absolute terms than SG3 (also oriented vertically, but at the bottom
of the hole). This indicates that the central hole is not deforming in
a homogeneous manner, but rather into an elliptic shape. This is in
line with the deformed shape in Fig. 12, and can be attributed to the
fact that, the vertical deformation of the rib is more restricted by the
presence of the skin, which is stiffer than the spar. In addition, SG5,
SG6 and SG7 (placed vertically at the top region of the rib, see Fig. 9)
are all quite similar. Consequently, the top region of the rib deforms in
a homogeneous way, this is again consistent with Fig. 12. However, we
note that, while unfolding between the rib and skin is clearly happening
in the numerical model, the strain magnitudes from the top of the rib
are not able to indicate the presence of this phenomenon, neither in
the simulation nor the experiments. Therefore, to properly corroborate
the unfolding phenomenon (which is captured in the model) with the
experimental strain measurements, strain gauges need to be placed at
appropriate locations which will need further investigation. Further,
SG10 coincides with SG8, indicating symmetry with respect to the
horizontal axis.

In the skin, for the positive thermal case, SG1, which is placed
transversally at the centre of the top surface just at the connection
with the rib, is larger (in absolute terms) than SG4, placed at the same
location but at the bottom surface, see Fig. 10. A similar observation
can be made between SG2 and SG3, placed at the same areas but
in the longitudinal direction. Hence, these differences between the
strain signals at the top and bottom surfaces indicate that the skin is
bending upwards (away from the rib), because it is being pushed by the
expanding rib. This is again in line with the deformed shape in Fig. 12.
The negative thermal case should follow the opposite trend, however
SG3 and SG4 failed during the experimental test.
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Fig. 9. Location of the strain gauges in the rib and comparison of the experimental strain gauge measurements against the numerical results for positive and negative thermal
jumps. The SG4 with positive thermal and SG7 (for both tests) are not shown since they failed during the test.
Fig. 10. Location of the strain gauges in the top skin and comparison of the experimental strain gauge measurements against the numerical results for positive and negative
thermal jumps. The SG3 with the negative thermal is not shown since it failed during the test.
In the negative test, SG8, placed longitudinally next to the connec-
tion with the spar, shows tensile strains, whereas SG6 (located at the
same place, but at the bottom surface) exhibits compressive strain. The
positive test shows the reversed trend. Hence, this indicates again that
the skin bends upwards, pushed by the rib when the thermal jump is
9

positive, whereas the opposite occurs with the negative thermal. The
transverse strain gauges placed in that location, SG5 and SG7, show
the same trends for the negative thermal. Nonetheless, for the positive
thermal although the CONTS predicts that SG5 is larger than SG7,
the experiments show the opposite. The strain gauge placed near the



Composite Structures 296 (2022) 115887J.M. Guerrero et al.
Fig. 11. Location of the strain gauges in the left spar and comparison of the experimental strain gauge measurements against the numerical results for positive and negative
thermal jumps. The SG9 with the positive thermal is not shown since it failed during the test.
edge of the skin and far from any bolted connection, SG10, presents
lower absolute strain than SG9 (located at the same place, but at the
top surface), this indicates again the same kind of deformed shape
discussed, but with a smaller relative difference between both of them.
Hence, there is less bending far from the centre of the skin (Fig. 12).

For the spar, with both thermal jumps, SG1, longitudinally placed
next to the central bolted joint with the rib, is larger (in absolute terms)
than SG5, which is located at the same place but at the inner surface.
Similarly, in the transversal direction, SG2 is also larger than SG6,
see Fig. 11. This implies the spar is bending outwards, as it is being
pushed by the expanding rib (for the positive thermal case), while it
is bending inwards (being pulled by the compressing rib) under the
negative thermal. This, once again, agrees well with the deformation
of the FE model seen in Fig. 12. The same observation can be made by
comparing SG3 to SG7 and SG4 to SG8, which were placed close to the
upper bolted joint with the rib. In addition, SG10, located transversally
close to the spar edge and far from the bolted joints, also shows higher
absolute strains than SG12 (in the same place, but at the inner surface),
leading to the same deformed shape explained. The relative difference
between both magnitudes is still significant compared to the other
strain gauges placed towards the bolted joints, which indicates the spar
is still bent far from the connection to the rib (Fig. 12).

The good agreement between the numerical and experimental pre-
dictions instil confidence in the modelling and experimental appro-
aches. Next, we use the FE model to provide more insight into the
10
global behaviour and the critical areas of the substructure, which
cannot be done easily with experimental testing.

Fig. 13 shows the Von Mises stress for the positive and negative
thermal jumps in the rib, whereas Fig. 14 presents the stress in the fibre
direction (S11), in the matrix direction (S22) and the in-plane shear
stress (S12) in the laminates. The skin shows the maximum stresses at
the connection with the rib, caused by the large CTE mismatch between
the parts that attempted to expand or contract differently. Likewise, the
most critical areas in the spar are also the bolted joints with the rib.
In any case, the stress levels in the laminates are too small to be of
concern, since even the maximum stress values are very low compared
with the typical strengths of similar aeronautical materials [36]. On
the other hand, the rib presents much higher stress levels relative to
the strength and yield stress of these kind of aluminium alloys (in this
case Aluminium 2024-O). Therefore, the rib is the most critical element
in the thermal response of this wingbox subcomponent assembly. The
main areas of concern in the rib are clearly observed: the central hole
of the rib, the rib mouse hole and the bolted joints. Next, we analyse
these critical regions in detail.

The hoop stresses in the central hole of the rib are presented in
Fig. 15. In the positive thermal scenario, tensile hoop stresses of about
15 MPa appear at the top and bottom of the hole, while compressive
stresses of about 30 MPa appear to the left and right sides. On the other
hand, the negative thermal case shows up to 50 MPa tensile stresses to

the left and side of the hole, and up to 16 MPa compressive stresses
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Fig. 12. Displacement magnitude predicted by the numerical model with both thermal jumps (positive and negative). The deformation scale factor is 150.
Fig. 13. Von Mises stress predicted by the FE model with both thermal jumps (positive and negative) in the rib. The deformation scale factor is 150.
at the top and bottom of the hole. Thus, for both loading scenarios the
areas under tension and compression are reversed. This is the reason for
the different elliptical shapes in positive and negative jumps. In both
cases, the tensile hoop stresses become a significant concern, since only
a pure thermal step can create tensile hoop stresses of up to 50 MPa at
the central hole of the rib. The subsequent repetition of this thermal
cycle on the assembly could easily trigger the nucleation of a crack
that could eventually grow with the increase in the thermal fatigue
cycles. In addition, for a real wingbox structure, the authors presume
the magnitude of these hoop stresses can increase significantly for rib
bays that are far away from the spar connections. Notice these trends
agree well with the strain signals shown in Fig. 9: with the positive
thermal, SG4 (bottom of hole) is more tensile than SG2 (left of hole),
while with the negative thermal, SG4 is more compressive than SG2.

The hoop stresses in the rib mouse hole are presented in Fig. 16.
Under positive thermal, tensile stresses appear in the inner side of the
11
mouse hole, whereas compressive stresses occur on the outside. The
reverse is seen with the negative thermal. The tensile stresses are again
larger with the negative thermal case. As in the central hole, these
tensile hoop stresses may be critical during fatigue cycles.

The change in the longitudinal stress in some of the bolts, due to
the thermal loading, is presented in Fig. 17. This stress is computed as
the clamping load divided by the bolt’s cross-sectional area. Under the
positive thermal, the bolts suffer an increase of longitudinal stress due
to the higher expansion of the bolted components that are forcing the
bolt to increase its length. This is considered to be critical as the bolt
stress may exceed the yield stress and deform plastically. The opposite
phenomenon occurs with the negative thermal, which, in some cases,
could lead to the separation of the joint if the preload is fully lost [7].
This proves also that changes in bolt stress or preload need to be taken
into account in the design of a wingbox [7]. The most critical bolts are
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Fig. 14. Stress in the fibre direction (S11), in the matrix direction (S22) and the in-plane shear (S12) stress predicted by the FE model with both thermal jumps (positive and
negative) in the laminates. The deformation scale factor is 150. The maximum stress across all plies contained by each element through the thickness is shown.
Fig. 15. Numerical prediction of the hoop stresses around the central hole in the rib with positive and negative thermal jump. The deformation scale factor is 150.
Fig. 16. Numerical prediction of the hoop stresses around the mouse hole in the rib with positive and negative thermal jump. The deformation scale factor is 150.
those bolting the skin and rib, since this is the area with higher bending
stress (Figs. 12 and 14).

Finally, the computational time using 24 cpus, was 3 h and 14 min
for the negative thermal simulation, and 2 h and 59 min for the positive
one.
12
4. Discussion

The previous section has presented the experimental results ob-
tained on a wingbox subcomponent and has validated an FE model
previously developed in Guerrero et al. [7].
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Fig. 17. Numerical prediction of the longitudinal stress in some bolts with positive and negative thermal jump.
The results prove that the FE model used to simulate a carbon–
aluminium hybrid wingbox substructure with 46 bolts subjected to
thermal effects, is rich enough to capture the response of a real struc-
ture, while still being computationally efficient. The fact that the trends
of the model correlated well with the experimental data proves that
the numerical deformed shape predicted is correct and in line with the
experiments. Consequently, the use of beam and surface elements is
accurate enough to capture the presence of the bolts. The disadvantage
of beams is that they may fail to accurately capture the stresses in the
bolts [3]. Nonetheless, this issue can be solved by means of submod-
elling, where the beam could be replaced by a 3D solid. Alternatively,
3D solid bolts could be used instead of beams in the most critical
locations. Further to this, the agreement indicates that omitting the
washer and nut has little impact on the global predictions [7].

Results indicate that the rib is the critical structural element in the
thermal response of a wingbox substructure [7]. Due to the larger CTE
of the aluminium, the rib tries to expand or contract more than the
skin, spar and bolts, and hence, either pushes or pulls them accordingly
(see Fig. 12, 13 and 14). However, the deformation is clearly not
homogeneous at all. This is proven by the signals of SG1 and SG4
in the rib, which are higher than SG2 and SG3. While the horizontal
13
deformation of the rib is constrained by the spar, the vertical deforma-
tion is constrained by the skin. Since the skin is stiffer than the spar,
there is less rib deformation in the vertical direction. This can also
be observed with SG8 and SG9, whose values are much higher than
SG5, SG6 and SG7 placed close to the skin. In addition, both thermal
jumps induce high hoop stresses especially in the negative thermal case.
These stresses can potentially trigger a fatigue crack if not carefully
analysed. The thermal loads can also cause bolt yielding and loss of
bolt preload. Therefore, the bolt preload should be selected carefully
to avoid yielding in the positive thermal and loosening in the negative
thermal case. Further to this, the numerical model shows that this kind
of rib design cannot prevent the presence of unfolding. Unfortunately, it
was not possible to monitor this phenomenon during the experimental
testing to validate the model prediction.

Recall, nonetheless, that the subcomponent represents just a small
unit of a full wingbox, see Fig. 1. It is therefore arguable whether a
single rib unit is a good representation of a full wingbox that contains
several rib bays. Indeed, the rib bays placed towards the middle of a
full wingbox may behave differently than the bays placed to the sides
in the connection with the spars (Fig. 1). This might not be represented
by a single-bay subcomponent. Hence, although the subcomponent can
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serve as a preliminary design tool, it may not be fully representative
of a full wingbox assembly. Whether the subcomponent is actually
representative or not will be assessed in future work.

The numerical model shows a constant underprediction of the strain
compared against the experimental tests, see Fig. 9, 10 and 11. There
are several explanations for this discrepancy, which are discussed as
follows.

• Composite laminates can have residual stresses coming from the
curing cool-down process [37]. These residual stresses can easily
be estimated, however, additional residual stresses occur during
the assembly of the parts. It is difficult, if not impossible, to
account for these stresses in the simulation of a large structure.

• In the experiments, the temperature is not perfectly uniform and
thermal gradients along the different regions of the assembly
occur (Fig. 2). In the numerical simulations, the stabilised temper-
ature at the end of the tests is applied uniformly. The difference
between this temperature and the real one can lead to some
discrepancy especially when comparing very low strains like in
the CFRP laminates.

• The strain gauge signals found in the laminated parts (skin and
spar, see Figs. 10 and 11) are comparatively small, and thus
the strain gauges may fail to capture such low magnitudes ac-
curately. Furthermore, the strain signals from the experiments
were corrected by using Eq. (2). However, the strain due to
the strain gauge resistance change, 𝜀p, which is calculated from
the datasheet, has some uncertainty associated (see Table 1).
Given that the strains are so small, even small deviations in the
correction of the strain signals could lead to large errors.

• The CTEs measured on the CFRP laminate showed significant
scatter in the fibre direction (𝛼11, see Table 3). It is important
to highlight that 𝛼11 significantly affects the equivalent CTE of
the laminate computed by classical laminate theory. Hence, small
deviations in the CTE can cause large errors.

Considering all the possible issues and the relative simplicity of the
odel, the agreement between the numerical model and the experi-
ent is remarkable. Indeed, from a total of 32 strain gauges, the biggest
iscrepancy between the model and experiments occurs with SG3 and
G8 in the skin under the positive thermal, which are predicted as
egative in the simulations, but positive in the experiments. However,
he values in these strain gauges are close to zero and, considering
he issues stated, the differences overall are not important. The exper-
mental methodology carried out has also proved to be good enough
o capture the main response of the structure and engender confidence
n the numerical model. Nonetheless, it is worth mentioning that the
resent work has focused on the thermal response of a subcomponent
f a wingbox, without taking into account mechanical loads. In reality,
he wingbox will be subjected to a combination of thermal and mechan-
cal loads, hence, compromising further the integrity of the assembly.
inally, we recall again the efficiency of the FE approach, since in
nly three hours of computational time, we are able to simulate the
ubcomponent comprising of 46 bolted joints with more than half a
illion elements.

. Conclusions

Aircraft manufacturers are currently concerned about the behaviour
f bolted joint assemblies between dissimilar materials under thermal
oading, due to the mismatch thermal expansion of the parts that in-
uces significant thermal stresses. This work has studied the behaviour
f a hybrid substructure assembly experimentally and numerically.

On the one hand, a hybrid carbon–aluminium wingbox subcom-
onent with 46 bolts was manufactured and tested under transient
hermal loading conditions. The subcomponent was instrumented with
train gauges to capture the global deformation of the assembly. A
14

imple approach was proposed and validated to correct the strain gauge t
easurements from the experiments, due to the thermal output of the
train gauges. On the other hand, by using an FE model based on
ontinuum shells to represent the bolted plates, beam elements and
FM to model the bolts, as well as multi-point constraints to model the
asher and nut, we have been able to simulate the relatively complex
ingbox subcomponent assembly with little computational effort. The
odel accounts for all relevant phenomenology (contacts and frictional

liding, bolt preload, bolt-hole clearance, thermal expansion or con-
raction and simplified through-thickness behaviour). The results of the
xperimental tests were compared with the numerical simulation.

Results show that the strain predictions given by the FE model
ompare reasonably well with the experimental data. Not only were the
etallic components (rib) well predicted, but likewise the composite

aminates (skin and spar) were in excellent agreement. In addition,
he deformed shape predictions between the model and experiments
ere in line with each other. The results prove that the rib is the main
riving mechanism during the thermal expansion or contraction of a
ybrid wingbox, due to the increased thermal expansion coefficient
ompared with the CFRP skins and spars. When the assembly is heated
r cooled down, the rib either expands or contracts and pushes the
kin and spar to bend accordingly, leading to stresses in the assembly.
ven though the temperature jumps were reasonably small, significant
tresses appeared, which may trigger damage during cyclic loading.
ence, thermal loadings should be taken into account during the design
rocess. Due to the model’s accuracy, we claim that the approach
roposed can be used as virtual testing and replace the complex and
xpensive experimental campaign. Our experimental methodology has
lso been proved to be accurate. In addition, we provided insight into
he importance of the strain gauge selection and the strain correction
or pure thermal cases.

Future work will use the same experimental methodology to test a
ull one-meter-long hybrid wingbox assembly with several hundreds of
olts, and use the same numerical approach to reproduce the experi-
ental test.
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